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Abstract

Studies on additive manufactured (AM) materials have shown that porosity reduces the fatigue
strength. However, the quantitative impact is not well understood. This paper presents a mechanistic
approach to quantify the influence of size, location and shape of gas pores on the fatigue strength of
AM Ti-6Al-4V. Ideal spherical and oblate spherical pore geometries were used in the finite element
(FE) analysis. The FE results showed a stress concentration factor of 2.08 for an internal spherical
pore, 2.1 for a surface hemispherical pore and 2.5 for an internal oblate spherical pore. Subsurface
pores within a distance of the pore diameter from the free surface were found to be most critical. The
material’s constitutive relation under the cyclic load was modelled by a mixed non-linear hardening
rule that was calibrated with published literature on selective laser melted Ti-6Al-4V. The cyclic
plasticity effect caused a local mean stress relaxation, which was found to be dependent on the pore
geometry, the applied stress amplitude and the stress ratio. Fatigue life was predicted by using the FE
calculated local strain amplitude and maximum stress in the strain-life relationship proposed by Smith-
Watson-Topper. The methodology was validated by published literature with crack initiation at gas
pores of known size, location, and shape. Parametric study showed that for internal pores, fatigue
performance is more sensitive to the shape and location of the pore than the size. An S-N curve was
proposed by the parametric study to account for the fatigue strength reduction due to internal gas
pores.

Keywords: Porosity defects; stress concentration factor; additive manufactured Ti-6Al-4V; finite
element modelling; fatigue life prediction.

1. Introduction

Additive manufacturing (AM) offers unprecedented design freedom, material savings and ease of
process automation that makes it a key technology in the industry 4.0 revolution. Consequently, AM is
being rapidly researched for industrial applications involving components made from nickel, titanium,
stainless steel and aluminium alloys [1,2]. Particularly, aerospace applications require a high strength
to weight ratio, and the use of AM processed titanium parts can potentially reduce the weight of the
component to half of the conventionally machined component [3]. However, studies have shown that
the process-induced defects in as-built AM parts have a detrimental influence on the fatigue
performance [4-7]. These defects are of two types, (a) lack of fusion (LOF) defects, in the form of
irregular and flat delaminations and (b) gas pores, in the form of spherical or near-spherical gas
pockets.
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Powder bed fusion, such as selective laser melting (SLM) and electron beam melting (EBM), and
directed energy deposition techniques, such as direct laser deposition (DLD), have a higher propensity
towards porosity inclusion. Porosity volume fractions in AM Ti-6Al-4V built with optimized
processing parameters are reported between 0.08% - 0.23% for SLM [8, 9], 0.03 - 0.19% for EBM
[10,11] and 0.013% - 0.36% for DLD process [12]. Post-processing techniques such as hot isostatic
pressing (HIPing) have been reported to be very effective in reducing the size of gas pores, but owing
to the internal pressure, gas pores cannot be eliminated [10].

Statistical models developed through mechanical testing [13] show a strong correlation between the
static strength and fatigue limit of AISi1OMg in the presence of internal defects. However, the results
cannot be transferred directly to Ti-6Al-4V due to a large difference in the microstructure and
mechanical properties of the two alloys. Existing empirical models account for the effect of porosity
on the fatigue performance by determining the reduced fatigue limit on the basis of the projected area
of the defect on the plane perpendicular to the loading axis [7,14]. According to one such model,
known as Murakami’s model [15], fatigue limit can be expressed as a function of the defect location
(using a correlation co-efficient), the defect size (using the square root of the projected area) and the
material’s Vicker’s hardness. This approach worked for irregular LOF defects (similar to cracks) in
AM Ti-6Al-4V [7,16] but gave a highly conservative prediction for specimens with gas pores [14].
The near-spherical geometry of gas pores indicate that the behaviour may be more accurately
predicted by using the notch fatigue approach and crack initiation based models. Realistic crack
initiation models can be built with inputs from advanced techniques such as X-ray computed
tomography (X-ray CT), which map the porosity distribution to include the shape, size and location
details. Consequently, the stress concentration factor value at individual defects can be computed by
converting these 3-D maps into finite element models. In a study [17], the authors used X-ray CT to
develop a static finite element model and concluded that stress concentration factor for pores can be
expressed as a function of a porosity characteristic parameter, which was defined as the ratio of pore
diameter to its distance to the free surface. However, this parameter did not include the shape of the
porosity defect. Stress concentration factor obtained by this approach was found to be of lower value
than the theoretical stress concentration factor value at a spherical cavity in an infinitely large body
[18], and therefore, may not be applicable for gas pores.

Published S-N data of SLM, EBM and DLD Ti-6Al-4V show that unpolished specimens performed
poorly with no measurable effect of any post processing, while the fatigue strength was increased by a
factor of 2 to 3 for the specimens tested with a polished surface [5,16,19]. In polished specimens, heat
treatment (without HIPing) did not show any significant improvement in fatigue performance as
compared to non-heat treated specimens [20-22], indicating that for machined (polished) specimens
internal porosity dominates the fatigue performance more than the microstructure. Fatigue
performance of HIPed AM specimens was found to be better than wrought Ti-6Al-4V [8, 15-18].
Nonetheless, post-processing will increase the production time and cost. Furthermore, in [10] it was
found that gas pores reduced by HIPing to below the X-ray CT detectable limit of 5.2 um
subsequently underwent regrowth when the material was exposed to temperatures at above 1000°C.
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This can be due to the coupled effect of an increase in the internal pressure in the gas pore and the

simultaneous recrystallization of the surrounding microstructure above the 3 transus temperature.

This study is focused on the effect of gas pores on the fatigue performance by developing a fatigue
life prediction method for AM Ti-6Al-4V. Microstructural influence on fatigue crack initiation was
considered via. (1) a cyclic plasticity model to calculate the material response in the plastic
deformation regime, and (2) using the AM Ti-6Al-4V material parameters in the strain-life relation.
Published cyclic stress-strain and strain-life data of SLM, EBM and DLD Ti-6Al-4V were used to
establish representative relationships for powder-based AM processes. A cyclic plasticity model was
calibrated by using the stabilized cyclic stress-strain curve for AM Ti-6Al-4V, thereby accounting for
the effect of microstructure on the calculated local stress and strain histories at the pore. Finally, the
calculated local strain amplitude and maximum stress at the root of the pore was used in the strain-life
relation with the Smith-Watson-Topper (SWT) model to account for the mean stress effect on the
predicted fatigue life for different pore geometries. The fatigue life prediction method was first
validated by test data from the literature and then used to propose an S-N curve with gas pore effect.

2. Material properties

2.1 Cyclic stress-strain curve

Based on literature, SLM [26,27] and DLD Ti-6Al-4V [20] have very similar cyclic stress-strain
relationship in comparison with the wrought material (Fig. 1), which led us to use a single cyclic
stress-strain curve for the powder-based AM processed Ti-6Al-4V. Figure 1 also shows that AM Ti-
6AIl-4V is cyclic softening comparing to its monotonic stress-strain curve. In this research, the cyclic
stress-strain curve used in the FE model was adopted from [26] and expressed in the Ramberg-Osgood
relationship, Eq. (1).

1
fe 4o, (A_")“ (1)
2 2FE 2K’
where Ae and Ac are the strain range and stress range, E the elastic modulus, K’ the cyclic strength
coefficient and n’ the cyclic strain hardening exponent.

Use of laser and electron beam (high energy density heat sources) in SLM, DLD and EBM
processes leads to rapid cooling rates (SLM between 10* and 10° °C/s [28], DLD and EBM between
10® and 10* °C/s [29,30]) while the cooling rate of wrought process lies between 10 and 10? °C/s
[31]. Since the cooling rate controls the microstructure, this explains the similarity in the cyclic
deformation behaviour between the SLM, DLD and EBM as compared to the wrought material. The
width of the o lamellae in EBM and DLD is 1-3 um [20,32] and that of martensite ¢’ in SLM lies
between 0.3-1 um [33], whereas the « grain size reported for wrought material is 15-20 um [34,35].
Application of cyclic loads prompts the material to undergo ‘shakedown’ during the initial few cycles,
causing the dislocation substructure to rearrange with each cycle until a stable configuration is
reached. When the applied stress is more than the yield strength of the material, the slip dislocations

tend to pile up at the grain boundaries and at regions of high dislocation density which restricts any
3



further dislocation movement through the lattice [36]. In other words, cyclic deformation behaviour is

strongly dependent on the width of o grains in Ti-6Al-4V.
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Fig. 1. Cyclic stress-strain curves of AM Ti-6Al-4V [20,26] compared with wrought Ti-6Al-4V [35].

2.2 S-N data for AM Ti-6Al-4V
Due to the unavoidable presence of internal defects in as-built powder-based AM Ti-6Al-4V, post-

processed (HIPed) S-N data [8,22-25] was used as baseline for fatigue life prediction. Fig. 2 shows
the S-N data of AM Ti-6Al-4V in comparison with the wrought material. The best-fit curve in terms of
the stress amplitude was used against the reversals to failure (2Nr) on a logarithmic scale to estimate
the material parameters for Basquin relation Eq. (2).

ASe O',f

—= = —(2Np)® 2
> = (2Np) @)
where Ae. is the elastic strain range, of' the fatigue strength coefficient, 2N¢ the load reversals to

failure, and b the fatigue strength exponent.

The plastic strain component was calculated by using Eqg. (1) and used against the reversals to
failure on a logarithmic scale to obtain the material parameters for the Coffin-Manson relation (Eq. 3).
HIPed AM Ti-6Al-4V was found to have better fatigue performance than wrought Ti-6Al-4V
(annealed bar). This can be explained by the relatively fine lamellar microstructure and reduction in
internal defects after HIPing treatment [37]. The summation of the elastic strain amplitude (Eg. 2) and
plastic strain amplitude (Eg. 3) gives the total strain, ¢, as shown in Eq. (4). The cyclic material

property values for Egs. 1-3 are given in Table 1.

Ae
719 = &'¢(2Np)* ®)

where Ag, is the plastic strain range, €' the fatigue ductility coefficient and ¢ the fatigue ductility

exponent.

Ae o
7 = Ff (ZNf)b + &"f(ZNf)C (4)
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Fig. 2. S-N data of powder-based AM Ti-6Al-4V (loaded in the build direction, polished surface, hot
isostatically pressed condition). Applied stress ratio R= -1, EBM [25], SLM [8,22], DLD [25] and wrought [38].

Table 1. Material parameters under cyclic load for powder AM Ti-6Al-4V based on the comparative
study presented in Fig. 1 and Fig. 2.

Modulus of Cyclic Strain Fatigue Fatigue Fatigue Fatigue
elasticity, strength hardening strength strength ductility ductility
E (GPa) coefficient exponent coefficient exponent  coefficient  exponent
K'(MPa) n' o (MPa) b & C
111 2085 0.186 1163 —0.046 0.043 -0.25

2.3 Porosity characterization in AM Ti-6Al-4V
Polished and etched (using Kroll’s reagent) metallographic samples of SLM Ti-6Al-4V built with

optimized processing parameters were studied under the scanning electron microscope. All the
observed gas pores were in the size range of 5 to 100 um diameter with an average diameter of 34 um.
The microstructure in the surrounding of the gas pores was similar to the overall microstructure,
indicating no significant difference in the cooling rates in the vicinity of the pores. Fig. 3(a) and 3(b)
show the different types of internal defects that were studied. The images indicate that the geometry of
the defects can be assumed to be ideal spherical or oblate spherical for modelling purposes. The
observed porosity morphology was in agreement with the porosity in the literature using optimised

(a) (b)

Fig. 3. Porosity defects found in SLM Ti-6Al-4V specimens (a) spherical gas pore, (b) oblate spherical pore.
Build direction is in Z axis.



3. FE modelling and life prediction method

3.1 Types of pores modelled and model assumptions

Based on the micrographs presented in the previous section, spherical and oblate spherical geometry
was used to study the two extreme shapes of gas pores. Further, the effect of location was studied by
assuming a subsurface spherical pore and a surface hemispherical pore. Fig. 4 illustrates the four
different pore geometries modelled in this study. Elastic mechanical properties were assumed to be
orthotropic with respect to the build direction.
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Fig. 4. Schematic of a cube containing one of the following pores, as used in the FE model, (a) internal
spherical, (b) internal oblate spherical, (c) subsurface spherical (x is the distance from pore edge to surface), (d)
surface hemispherical. Stress was applied on the Z-X plane and the red marks indicate the root of the pore where
stress concentration is calculated.

3.2 Elastic stress analysis

Internal pores (spherical and oblate spherical) were modelled by using a % model with three planes
of symmetry, and the subsurface spherical pore and surface hemispherical pore were modelled by a ¥4
model with two planes of symmetry (X-Z, Y-X). FE mesh convergence analysis showed that a ratio of
pore (major) diameter to finite element size of 25 is the required minimum mesh size around pore.
Quaderatic tetrahedron element of 10 nodes (C3D10) was used for meshing the geometry (Fig. 5).

Stress concentration factor, Kj, is the ratio of the local maximum elastic stress to the applied stress.
It is a geometric parameter, hence can vary with the model dimensions. FE analysis was performed to
determine the minimum size of the model to study an internal pore. The pore diameter was kept
constant while increasing the side length of the model. It was found that when the model length was
eight times of the pore diameter, K; value stabilizes. This implies that beyond this ratio of porosity size
to model size, the porosity size does not affect the computed results. This condition holds true for
practical applications where the component dimension can be orders of magnitude greater than the size
of porosity. It can also be inferred that a change in the size of internal pores does not affect the local
stress and strain, and hence the fatigue crack initiation life.



Fig. 5 FE mesh used for the internal spherical pore (1/8" of the geometry in Fig. 4a).
3.3 Elastic-plastic stress and strain analysis

Cyclic plasticity analysis was performed using the material models from ABAQUS library [39] to
model the isotropic and kinematic softening of AM Ti-6Al-4V. The von Mises yield surface F is
defined by Eqg. (5).

F=f(c—a)—a° ()

where f represents the von Mises stress function also referred to as the J; stress function, ¢° is the yield
stress and a the back-stress. The use of five back-stress components improves the fitting of stress-
strain response of the model to the observed non-linear material response. The back-stress for each
strain range is determined by integrating the back-stress evolution over the monotonically rising
section of the stabilized hysteresis loop, as shown in Eq. (6) and the overall back-stress a, is the
summation of these individual back-stresses, as shown in Eq. (7).

Ck pl pl
ar=—|1—e7 "<& ) + ap e VKE 6
o= ) + @ (6)
N
o= Z e (7)

k=1
where i is the k™ back-stress at the first data point (o1, 0), Ck the modulus in the plastic region, and
yx the rate of decrease of the modulus with increasing plastic strain. These parameters were
determined from inverse analysis operations to obtain a fit with stabilized hysteresis loop measured
from experiment [26].

The isotropic softening behaviour of the model is introduced by Eqg. (8).

0% =0y + Qu (1 - e_bgpl), (8)

where ¢° is the yield stress for the n' cycle, oo the yield stress at zero plastic strain, Q.. the maximum
change in the value of yield stress, b the rate of decrease of yield stress with an increase in equivalent
plastic strain, £P!. The FE model was calibrated such that the computed hysteresis loops reach the
stabilized state within 20 load cycles. The values of C, yi, Q- and b are given in Table 2.



The cyclic plasticity material model was validated with the experimentally measured hysteresis
loops taken from [26]. Figure 6(a) compares the hysteresis curves of the first and the stabilized (200"
cycle extracted from the experiment (at 2% fully reversed applied strain amplitude) [26] with the
corresponding hysteresis loop calculated by the mixed cyclic plasticity model. Figure 6(b) shows the
stabilized hysteresis loop for 1% and 2% fully reversed applied strain amplitudes, compared with the
respective stabilized hysteresis loops computed by the model.
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Fig. 6. (a) Comparison of the cyclic plasticity model results with experimental hysteresis loop [26] obtained at
fully reversed applied strain amplitude of 2% for SLM Ti-6Al-4V ELI material, (b) 20th cycle of the cyclic
plasticity model output for 1% and 2% applied strain amplitudes compared with the stabilized (200"") hysteresis
response from experiment [26].

Table 2. Elastic material properties and cyclic plasticity model parameters fitted to the stabilized
hysteresis curves of SLM Ti-6Al-4V.

Elastic properties, Ex, Gk (GPa) [26]

E: E. Es G2 Gi3 G2 Vii
103.7 95.238 95.238 35.966 35.966 39.161 0.324
Cyclic plasticity model parameters

Kinematic model parameters, Cx (GPa), y« Isotropic model parameters, Q (MPa), b
C v C v2 C vz C  va C s Q, b
100 3000 70 3000 45 3000 30 850 29.7 12 -206 7

3.4 Neuber’s approach as an alternative to FEA

If porosity is treated as a notch, then the Neuber’s method can be applied to calculate the local
stress and strain. Eq. (9) shows the relation between the local stress and strain amplitude (o2 and &)
and the applied stress amplitude (Sa) and stress concentration factor (K;). Since this approach is
limited to applications with known analytical values of K;, subsurface pores were not included in this
analysis.

2
oo, = (tha) ©)

For life prediction, use of the fatigue notch strength reduction factor (Ky) is preferred over K; to
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avoid highly conservative estimation (Eq. 10). Kr is the ratio of the fatigue strength of smooth
specimens to that of notched specimens [40].

(KfSa)2
E

Oa8a = (10)

Kt and K; are related by the notch sensitivity factor g, as shown in Eq. (11). From [41], the value of
q for Ti-6Al-4V ELI can be deduced as 0.82. Therefore, Ky is lower than K; to account for the
plasticity and notch sensitivity effects.

Ke=q(Ki—1)+1 (11)

Eg. (1) and Eq. (10) were solved simultaneously to obtain the local stress and total strain at the
root of the pore.

3.5 Life prediction method
Fatigue life of AM Ti-6Al-4V containing a gas pore was predicted with the following assumptions:

(a) Pores can be considered as notches as they both are stress raisers, and fatigue life is controlled by
the local stress and strains at the root of the critical pore (pore root location is indicated in Fig. 4).

(b) Predicted fatigue life at pore root using the local stress and strain values from FE model and
material’s S-N data represents the crack initiation life at pore root. (Note: subsequent crack
propagation life is relatively short for a small specimen, whereas for a service part with a similar pore
and subjected to similar local cyclic stress-strain histories, crack propagation life is much longer and
cannot be neglected).

The cyclic plasticity model discussed in section 3.3 was used to obtain the stabilized local stress-
strain response under fatigue loading. When the local stress-strain response is elastic (area enclosed by
the hysteresis loop is negligible), the local stress amplitude can be used to predict the fatigue life by
using the S-N data of HIPed AM Ti-6Al-4V as shown in Fig. 2. It should be noted that the local mean
stress (if present) should be accounted by using Walker’s equation [33] as shown in Eq. (12) because
the data presented in Fig. 2 is at R = —1 (mean stress is zero).

0.28

0 = Omax () (12)

where o is the equivalent maximum stress at R = —1, under the applied maximum stress, omax, and
applied stress ratio, R.

When the local stress-strain response includes significant plastic deformation, the local strain
should be used for fatigue life prediction. The local strain amplitude, ., and the local maximum stress,
omax, Obtained from the cyclic plasticity model were used in the SWT model (Eq. 13) [42], where the
local maximum stress term is used to account for the effect of the local mean stress.

" N2
o
€a0max = ( ;) (ZNf)Zb + O-’f S’f (ZNf)b+c (13)




where the constants a¢’ and &' are the fatigue strength and the fatigue ductility coefficients, b and ¢ are
the fatigue strength exponent and fatigue ductility exponent, respectively (values in Table 1).

4, Results and discussion

4.1 Stress concentration factor (K;) for various pores

Values of K; for the four different pore geometries were calculated from the elastic FE model with
uniaxial loading condition using a Poisson’s ratio of 0.324 [6]. It should be noted that Poisson’s ratio,
v, is an important parameter which affects the K; in 3-D geometries. Elastic FE model results were
validated by analytical solutions [18,43,44]. The results are presented in Table 3. It can be seen that K;
values are virtually the same for the internal spherical pore and the surface hemispherical pore. This is
because that the “hot spot” at the surface pore root is subjected to a similar boundary condition as that
of the internal pore. Fig. 7(a) shows that K; continues to increase as the distance between the pore and
the free surface is reduced below the pore diameter (d). In other words, location of the pore becomes
critical if the porosity lies within a distance of d from the free surface. Figs. 7(b) and (c) show the
stress distribution for subsurface pores under applied unit stress. Finally, for an internal oblate
spherical pore (major diameter twice of minor diameter) K; was also high, indicating that the shape of
the pore is also an important factor in controlling the local stress concentration factor.
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Fig. 7 Subsurface pore of diameter d: (a) stress concentration factor, K vs. distance, x to free surface (point A,
marked in red), (b) and (c) overall model (top left corner) and enlarged view of local stress distribution under
applied unit stress in the Z-X plane; x = 0.2d, Ki=2.52 in (b), x = 0.5d, K; = 2.18 in (c).

Table 3. Stress concentration factor values obtained from elastic FE model for the studied pore
geometries and comparison with published analytical solutions [18,43,44].

Shape Aspectratio  Distance to surface Kt % error (FE vs. analytical solution)
B Spherical 1 4d 2.08 0.9
] . .
. Hemispherical 1 Surface 2.1 0.6
I
: Oblate spherical 2 4d 2.5 1.2
3] Subsurface 1 0.02d - 0.5d 4.36-2.18 N/A

4.2 Local stress and strains at porosity
(a) FE cyclic plasticity model

Elastic-plastic FEA was carried out on a specimen with an isolated pore to investigate the local
stress-strain state, plastic deformation and local stress ratio at the root of the pore. The four different
pore geometries shown in Table 3 were modelled and the specimen was subjected to a cyclic load with
the maximum stress of 450 MPa, 600 MPa and 750 MPa, at applied stress ratios of 0.1, —0.2 and —0.5.
The calibrated cyclic plasticity model (explained in section 3.3) was used to incorporate the cyclic
stress-strain relationship in FEA. It was found that the mean stress at the root of the pore was always
lower than the applied stress and the percentage reduction was directly proportional to the applied
maximum stress, applied stress ratio, and the K; The local stress-strain response remained to be
elastic dominant for the applied maximum stress of 450 MPa and 600 MPa with a stress ratio of 0.1,
—0.2 and —0.5. When the applied maximum stress was increased to 750 MPa with a stress ratio of
—0.5, significant cyclic plasticity was noticed. This behaviour can be due to the large stress amplitude
in addition to the high applied maximum stress (nearly 80% of the yield stress), that causes the
material within the plastic zone of the pore to undergo yielding while the surrounding material remains
below the elastic threshold. Consequently, the stress drops in the plastic zone at the expense of higher
plastic strain and the maximum stress shifts to the surrounding elastic region in the plane
perpendicular to the loading axis. This shows that once the crack initiates, it will propagate in the
plane perpendicular to the loading axis.

For a surface hemispherical pore, the stress and strain distribution were found to vary in the pore
cross-section as one face is free (referred as the mouth of the pore) while the other face is constrained
(referred as the root of the pore). This difference causes the load direction local strain to be higher at
the mouth of the pore as shown Fig. 8(a), while the load direction local stress is higher at the root of
the pore as shown in Fig. 8(b). The higher stress concentration at the root of the surface hemispherical
pore will therefore lead to crack initiation at the pore root.
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Fig. 9 shows the local cyclic stress-strain response in the region of maximum strain for each of the
pore geometries. Due to the constrained boundary condition, the local stress-strain response at the root
of an internal pore is very similar to that of the hemispherical surface pore (Figs. 9a, 9b, K; = 2.08 and
2.10). The higher K; for the internal oblate spherical pore leads to significantly higher cyclic plastic
strain accumulation (Fig. 9c, Ki=2.5). Same statement can be made for the subsurface pore in Fig. 9d
(K¢ =2.52).

S, §22
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1177.23
978.00
778.76
579.53
380.29
181.06
-18.18

Max: 1376.47
(a) Load direction strain (E22) (b) Load direction stress (S22) (MPa)

Fig. 8 Surface hemispherical pore (symmetry boundary in X-Z, Y-X; free boundary in Z-Y), (a) local strain is
greatest at pore mouth indicated as “Max 0.02” (free boundary on one face), (b) local stress greatest at the pore
root indicated as “Max 1376.47” (symmetric boundary condition on the adjacent faces); at applied maximum
stress 750 MPa, applied stress ratio — 0.5.
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Fig. 9. Local stress and strain responses at the root of (a) internal spherical pore, (b) surface hemispherical pore;
(c) internal oblate spherical pore, (d) subsurface spherical pore at a distance of 0.2d from free surface, where d is
the pore diameter; stable hysteresis loops established after 20 loading cycles with applied stress amplitude 560
MPa, applied stress ratio —0.5. Note the reduction in local stress ratio to nearly —1 owing to the stress
concentration and cyclic plastic deformation.

(b) FEA vs. Neuber’s method

Neuber’s approach was also used to calculate the local stress and strain at the root of the three pore
geometries. The FE model results were plotted against Neuber’s results in Fig. 10 in terms of
calculated local strain amplitude, under applied stress amplitudes between 200 MPa and 560 MPa with
applied stress ratios of 0.1, —0.2 and —0.5. It was found that local strain obtained from FE model was
in good agreement with Neuber’s method for lower plastic strains. For higher plastic strains, Neuber’s
method was relatively conservative as compared to FE method. This is because Neuber’s method is
better suited for low plastic strains [40], whereas the advanced computation techniques in FE method
have enabled us to implement complex algorithms to model the non-linear material response with a
better approximation.

.01 -
0.016 e internal spherical i’

o surface hemi-spherical L y
4 internal oblate spherical . e
e

0.012 -7 A

L
0.008 i A o

Local strain amplitude-FEA
\
\

0.004 0008 0012 0016
Local strain amplitude-Neuber

Fig. 10 Calculated local strain amplitudes: FEA vs. Neuber’s method. Dotted lines indicate +10% error.
4.3 Validation of predicted life with test results

Fatigue data reported in the literature with respective fracture surface images showing crack
initiation at individual gas pores were used to validate the prediction model presented in Section 3.
From the fracture surface images, the pore geometry, distance from free surface and the nearest
idealised defect shape were determined for modelling. The present FE model does not account for the
interaction between adjacent pores, therefore the test cases were selected with no other visible pores in
the vicinity of the crack initiating pore. All the studies [6,20,21] reported the use of optimized
processing parameters, which makes it highly likely that the distance between the pores is more than
four times the pore diameter, which was determined by the FE model in this study to be the minimum
distance for neglecting any interaction.

Summary of the porosity characteristics and experimental fatigue life [6,20,25] are presented in
Table 4 along with the fatigue life prediction conducted in this study. The local strain obtained from
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FE analysis was used in the SWT relationship, Eq. (13), to predict the fatigue life. Fig. 11 shows that
the fatigue life prediction was in good agreement with the test data.

7
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N
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Fig. 11. Validation of the fatigue life prediction with the fatigue test data taken from literature as shown in Table
4. The dotted lines show the error bands of +2 factor.

Table 4. Fatigue test data of AM Ti-6Al-4V specimens taken from literature with crack initiation at
gas pores of known size, location and shape.

Initiating defect AM Maximum  Applied Fatigue life Fatigue life
Location Aspect  Dia. process zfrggsed fg{?gs Egri?;gion) (test)
e m (MP2) ’ leferonce]
Surface 1 72 EBM 575 8.5x10* 7.34x10% [6]
Surface 1 70 EBM 600 4.9x10* 4.5x104[6]
Internal 1 170 EBM 600 6.9x10* 1x10°[6]
Subsurface 1 45 DLD 356 -1 2.2x10°8 1.6x108 [20]
Subsurface 1 58 DLD 470 -1 1.5x10% 4.5x10% [20]
Surface 1 100 DLD 415 -1 4.5x10* 5x10% [20]
Internal 1 DLD 680 0.1 5x104 1.45x10° [21]
Internal 1 ;gg_ DLD 570 0.1 2.2x10° 3.25x10° [21]
Internal 1 DLD 550 0.1 1.5x108 2.4x108 [21]

Note: Porosity-fatigue life data of reference [20] was provided by the authors via. email communications.

4.4 Parametric study

This section of the work is aimed at quantification of the fatigue strength reduction of powder-
based AM Ti-6Al-4V in the presence of isolated gas pores. The ability of validated FE model for
calculating the local stress and strain at the root of the porosity makes virtual testing an option to
generate S-N curves for specimens containing isolated gas pores. Fig. 12 shows predicted S-N
relationship for specimens with spherical gas pore defect (K: = 2.08) at different applied stress ratios.

Similar exercise was also carried out for the surface hemispherical pore, internal oblate spherical
pore, and the subsurface pore. For comparison, all the results from this parametric study were
converted to applied stress ratio of —1 and plotted with the best-fit curve of HIPed AM Ti-6Al-4V in
Fig. 13. The values of (o7, b) for the best-fit curve are (1630, —0.106) for internal spherical pore,
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(1701, —0.113) for surface hemispherical pore, (1466, —0.109) for oblate spherical pore and (1367, -
0.109) for subsurface spherical pore at a distance of 0.2d below the free surface. Fig. 13 shows that the
impact of porosity was less in the low cycle fatigue regime compared to the high cycle fatigue regime.
This is because that as the applied stress increases the fatigue strength tends to converge towards the
material static strength.

. 600 o K =2.08 (spherical gas pore)
%‘3 hN e~ R=-05
< 450+ ‘\;\\ —--e—R=-02
E < sl —e—R=0.1
2
£ 300-
S
T 150
=
o
<

0 T T T

10’ 10" 10’ 10° 10’

Number of cycles

Fig. 12 Parametric study of the effect of applied stress amplitude and stress ratio on the fatigue life of the AM
Ti-6Al-4V with an internal spherical gas pore.
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Fig. 13. Predicted S-N curves of AM Ti-6Al-4V containing isolated porosity compared with S-N data of HIPed
AM Ti-6Al-4V, including internal spherical pore (K=2.08), surface hemispherical pore (K=2.1), internal oblate
pore (K:=2.5) and subsurface spherical pore at a distance of 0.2d to the free surface (K=2.52).

Fatigue performance of specimens with internal spherical gas pore and hemispherical surface pore
was comparable for reasons discussed in Section 4. It should be noted that fatigue life predictions
presented in Fig. 12 and Fig. 13 are for AM specimens that are built with optimised processing
parameters (so that the assumption of scarcely distributed pores can be valid). However, if the distance
between the pores is less than four times the diameter of the larger pore, then the interaction between
pores should be considered. Therefore, the proposed S-N relationship can be used to determine the
fatigue life of AM Ti-6Al-4V parts with isolated pores, which are built with optimized processing
parameters and not subjected to hot isostatic pressing.
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5. Conclusions

The effect of isolated porosity defects on the fatigue strength of AM Ti-6Al-4V material is evaluated
based on the gas pore morphologies found in experiments. Elastic-plastic finite element analysis was
performed first to calculate the cyclic plastic deformation, local stress and strains, and local mean
stress change at the vicinity of the pores. The strain-life approach is used for the life prediction. S-N
data of hot isostatically pressed AM Ti-6Al-4V are used as the benchmark for the material
performance in its defect-free condition. Key findings are as follows.

1. Stress concentration factor (K:) mainly depends on the location and shape of isolated gas pores.
When the location of a spherical gas pore is more than four times of its diameter from the free
surface, it is regarded as an internal defect and K; is 2.08. For a subsurface spherical pore, K;
increases to the value range of 2.2 to 4.3 depending on the proximity to free surface. When the
shape of internal pore change from spherical to oblate spherical with an aspect ratio of 2, K;
increases from 2.08 to 2.5.

2. The size of internal gas pore has little effect on the stress concentration factor, although larger
pore contributes towards reduction in the load carrying cross-section area.

3. Plastic deformation at the pore root causes local mean stress relaxation. Using the local stress and
strains from finite element analysis in the Smith-Watson-Topper strain-life equation can account
for the effects of higher local strains and mean stress relaxation in the fatigue life prediction for
AM Ti-6Al-4V specimens with gas pores.

4. The life prediction method is validated with published test results on powder based AM Ti-6Al-
4V alloys, which has been further employed in parametric studies to understand the effect of
porosity location and shape on the fatigue performance.
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